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A main limiting design consideration for hypersonic flight vehicles is surface heating. State-of-the-art thermal

protection systems (TPS), such as ablative heat shields, are limited in that they require blunt geometries and often

experience surface degradation through material removal. Evaporative transpiration TPS can protect sharp leading

edges without experiencing surface degradation. A study is conducted investigating the effect of coolant oxidation on the

performance of evaporative transpirationTPS.The studyuses three-dimensional directnumerical simulationalgorithms

considering thermochemical nonequilibrium flow around a 3.1 mm nose tip radius flying at Mach 15 and an altitude of

30 km. Aluminum is chosen as the coolant because of its high latent heat of vaporization and low molar mass. The

exothermic oxidation reactions are shown to greatly increase the incident heat flux and require over twice the coolant

mass flux at the stagnation point tomaintain a leading-edge temperature near the saturation temperature of the coolant.

This effect is prevalent even under the nonequilibrium conditions of very slow reaction speeds, 10−11 times lower than

their accepted values. Therefore, oxidation reactions cannot be neglected. Understanding how coolant oxidation impacts

the performance of evaporative transpiration TPS helps to inform future design of evaporative transpiration TPS.

Nomenclature

Cf;c = reaction rate coefficient

cs = mass fraction of species, s
cp = specific heat, J∕�kg ⋅ K�
D = binary or mixture diffusion coefficient, m2∕s
e = specific energy, J/kg
eext = extrapolated relative error
Fj = inviscid flux vector

Gj = viscous flux vector

GCIfine = fine-grid convergence index
h = specific enthalpy, J∕kg
h∘s = species heat of formation, J∕kg
HTC = heat transfer coefficient, MW∕�m2 ⋅ K�
Keq = equilibrium constant, mol∕m3

Kc = chemical equilibrium ratio
k = thermal conductivity, W∕�m ⋅ K�
kf;c and kb;c = forward and backward reaction rates

L = latent heat of vaporization, J∕mol
M = molar mass, kg∕mol
_m = mass flux, kg∕�m2 ⋅ s�
MTC = mass transfer coefficient, m∕s
P = pressure, Pa
q = heat flux, W∕�m2 ⋅ K�
QT−vs = vibrational energy exchange

R = universal gas constant, J∕�mol ⋅ K�
RC = reaction rate
S = standoff distance of the shock, m
T = temperature, K
U = conserved flow variable vector
un = velocity in nth direction, m∕s

W = source vector
α = accommodation coefficient
δi;j = Kronecker delta

ϵ = emissivity
θ = nondimensional temperature
μ = viscosity, Pa⋅s
ν = species diffusion velocity, m∕s
ρ = density, kg∕m3

σ = Stefan–Boltzmann constant, 5.670 × 10−8 W∕
�m2 ⋅ K4�

τ = chemical timescale ratio
τi;j = viscous stress, Pa

ω = rate of species production, kg∕�m3 ⋅ s�

Subscripts

0 = stagnation quantity
1 = one grid point upstream of the stagnation point
c = reaction number
eq = equilibrium or saturation
i, j = grid point location
�l� = liquid state
ns = total number of species
p = product
r = reactant
s = species number
T = translational-rotational
v = vibrational
w = wall conditions

I. Introduction

D ESPITE increasing interest in hypersonic flight systems, their
practical use remains limited. One of the main challenges

presented by hypersonic flight systems is the severe incident heat
loads present during atmospheric hypersonic flight. These extreme
heat loads arise due to compressive heating behind the bow shock.
Smaller leading-edge radii, which offer higher lift-to-drag ratios,
exacerbate the high incident heat fluxes experienced during hyper-
sonic flight because a linear reduction in leading-edge radius leads
to a linear increase in the squared incident heat flux [1,2].
Thermal protection systems (TPS) are used to protect hypersonic

vehicles from these high incident heat loads. Current state-of-the-art
TPS include ablative heat shields such as those used on the Apollo
reentry capsules and passive insulating tiles such as those used on
the Space Shuttle. Ablative heat shields, often made of carbon, are
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effective at counteracting large incident heat fluxes and can with-
stand heat fluxes over 30MW∕m2 [3]. But because ablative heat
shields rely on vaporization of their surface material to absorb the
incident heat flux, they undergo significant shape change during use
[3,4]. Blunt shapes must be used with ablative TPS as surface
degradation prevents them from maintaining sharp geometry. Sur-
face degradation also prevents ablative TPS from being reusable.
Passive insulating tiles are not as capable of counteracting large
incident heat fluxes as ablative heat shields and still require a blunt
leading edge to decrease the severity of the incident heat flux.
In addition, postshock conditions give rise to such extreme

temperatures that there is significant dissociation of air molecules.
For example, diatomic oxygen dissociates at 2000 K [5], well below
the postshock temperature for atmospheric hypersonic flight. This
creates a highly reactive flow environment as air molecules disso-
ciate, recombine, and react with the leading-edge surface. Even
passive insulating tiles are not completely reusable, as exposure to
these highly reactive conditions degrades the tiles over time.
It is therefore desirable to develop TPS capable of providing

adequate thermal protection while mitigating the limitations of current
TPS. Evaporative transpiration TPS are promising in addressing these
limitations. Evaporative transpiration TPS continuously supply a sac-
rificial liquid coolant to the leading-edge surface where the coolant is
vaporized. The vaporization of the liquid coolant absorbs the incident
heat load during flight in a process similar to ablation. Distinct from an
ablative TPS, the expended liquid coolant from an evaporative tran-
spiration TPS can be continually replenished through a porous leading
edge. The liquid-vapor coolant layer thereby physically shields the
leading edge from high external temperatures and highly chemically
reactive flows. In this way, evaporative transpiration TPS do not
experience vaporization of the leading-edge structural material itself
nor surface degradation along the leading edge. As such, evaporative
transpiration TPS eliminate both the requirement for blunt shapes and
the single-use limitation of current ablative TPS. The prospective use
of sharp leading-edge geometry, owing to evaporative transpiration
TPS, could greatly increase the lift-to-drag ratios and maneuverability
of hypersonic flight systems. Current studies have shown that evapo-
rative transpiration TPS are as effective as ablative TPS at counter-
acting incident heat fluxes. Ko et al. [6] have shown that, provided a
sufficient coolant mass flux, evaporative transpiration TPS can counter-
act heat fluxes as high as 85MW∕m2 along a 3.1 mm nose tip radius
leading edge at Mach 20 and 30 km altitude. A diagram showing the
operation of an evaporative transpiration TPS is presented in Fig. 1.
Evaporative transpiration TPS function through the vaporization

of liquid coolant along a porous leading-edge surface, often made
from carbon, silica, or refractory metals. The coolant is stored in an
internal reservoir, and solid coolant particles may need to be melted
inside this reservoir and pumped toward the porous leading edge.
The coolant is then drawn through the porous material to the surface
by external pressure and capillary action. Once the liquid coolant
reaches the surface, it absorbs the incident heat flux and vaporizes,
discharging into the hypersonic flow as vapor.
Many previous studies have investigated using gases as the

transpiration coolant material [7–16]. Van Forest et al. [17] and
Huang et al. [11] investigated using liquid water as the transpiration
coolant material, and Ko et al. [6] investigated using metals and
oxides as the transpiration coolant material. Luo et al. [18] showed
that liquid coolants are substantially more effective than gaseous

coolants, as they undergo a phase change along the leading-edge
surface. As a result, it is desirable to use liquid coolants in transpi-
ration TPS to utilize the energy absorption of evaporation.
Van Foreest et al. [17] conducted experiments using liquid water as

the coolant for an evaporative transpiration TPS. This experiment saw

a leading edge exposed to a heat flux of 2.8 MW∕m2. The leading
edge was cooled to less than 300 K, the saturation temperature of
water, using a mass flow rate of only 0.2 g∕s of water. Many
transpiration TPS required an external pumping system to supply
the liquid coolant, making them unfeasible for practical use. Huang
et al. [11] developed a transpiration TPS that utilized capillary action

to draw coolant from an internal reservoir, as shown in Fig. 1. Liquid
water was used as the coolant and was drawn through a hydrophilic
porous medium that facilitated the capillary action. As with Forest
et al. [17], the surface temperature was maintained at approximately

373 K. The manageable heat flux of 1.1 MW∕m2 was limited mainly
by the self-pumping capability of the porus media. While the work of
Van Foreest et al. and Huang et al. [11,17] demonstrated the effective-
ness of evaporative transpiration TPS, much larger heat fluxes must be
counteracted during atmospheric hypersonic flight.
Metallic and oxide coolants are capable of counteracting these

large incident heat fluxes using reasonable coolant mass fluxes due
to their high latent heats of vaporization. Metals and oxides also
have a wide range of material properties, offering greater flexibility

in material selection under a wide range of flight environments and
material limits of the leading-edge surface. Weston [8] showed that
performance of transpiration TPS using cold gasses are influenced
by the material properties of the coolant, namely heat capacity and
molar mass. Ko et al. [6] showed that the molar mass, the latent heat
of phase change, and the saturation temperature are critical to the

performance of evaporative transpiration TPS.
Additionally, near the stagnation point along sharp leading edges,

mass diffusion is large due to coolant vaporization. The mass
diffusion rate may even be larger than the evaporative mass transfer
rate, as predicted by Scala and Vidale [19] and Charwat [20] using
kinetic theory. Many previous numerical studies have assumed that
the leading-edge surface is in a state of thermodynamic equilibrium,
but this assumption is invalid if the mass diffusion rate is larger than

the evaporative mass transfer rate at the leading-edge surface.
Kubota and Baker [21,22] have shown that assuming thermody-

namic equilibrium along a vaporizing leading-edge surface can result

in erroneously low predictions for the leading-edge temperature due to
the large mass diffusion rates common with transpiration TPS. Under-
predicting the surface temperature of an evaporative transpiration TPS
can lead to surface temperatures large enough to melt the leading-edge
material or cause vapor bubbles to nucleate within the porous media.
Nucleation of vapor bubbles within the porous media is a mode of TPS

failure referred to as surface dry-out, and has been observed by Faghri
while studying heat pipes and He and Wang while studying transpira-
tion TPS [23,24]. Avoiding underpredicting the leading-edge temper-
ature motivates the use of thermochemical nonequilibrium flow
solvers when studying evaporative transpiration TPS, as in the work
of Ko et al. [6] and when studying ablative TPS as in [25–28].
A recent investigation by Ko et al. [6] studied evaporative transpi-

ration TPS, allowing for thermochemical nonequilibrium, through a
parametric study on coolant material properties, flight conditions, and

nose tip radii. The parametric study was conducted using a model

Fig. 1 Example diagram showing how an evaporative transpiration TPS functions [6].
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based on the boundary-layer theory presented by Scala and Vidale
[19]. This model makes use of many simplifying assumptions and
were valid only along the stagnation line, so additional solutions were
obtained using DNS algorithms to augment the parametric study. It
was found that evaporative transpiration TPS using metallic and oxide
coolants could withstand heat fluxes up to 85 MW∕m2, though larger
heat fluxes could theoretically be cooled by increasing coolant mass
flux. Ko et al. [6] also determined that oxides are chemically inert
when used as the coolant for evaporative transpiration TPS because of
their chemically stable nature and the significant presence of oxygen
in the flowfield, which limits oxide dissociation. Coolant oxidation
was neglected in the study by Ko et al. [6].
This study aims to examine the effects of oxidation of metallic

coolants on the performance of evaporative transpiration TPS. Metals
oxidize readily at elevated temperatures, and the presence of oxygen in
the flow promotes, rather than inhibits, chemical reactions with met-
allic species. Oxidation reactions are exothermic, and the prevalence
of these reactions may increase the incident surface heat flux. Addi-
tionally, coolant oxidation is expected to draw the evaporated coolant
away from the leading-edge surface as it reacts with incoming oxygen.
This effect would increase the required coolant mass flux. Therefore, it
is important to understand the physical impact of oxidation reactions
on the external flowfield and how they affect the performance of
evaporative transpiration TPS using metallic coolants.
Through studies conducted using DNS algorithms, the effects of

coolant oxidation reactions on the surface heating and the required
coolant mass flux of evaporative transpiration TPS are evaluated.
The simulations are conducted only within the laminar region of the
leading-edge surface. In order to characterize a broader range of
coolant oxidation reactions, the reaction rate coefficient was varied
through the range of feasible speeds for oxidation reactions. The
results of this study bring evaporative transpiration TPS a step closer
to future implementation.

II. Governing Equations and Material Properties

To accurately detail the effects of metallic coolant oxidation in
evaporative transpiration TPS, it is preferred to fully solve the com-
plete Naiver–Stokes equations without using simplified models. This
is because viscous effects are influential when considering boundary-
layer phenomena. The boundary layer is of great importance to the
study of evaporative transpiration TPS, as the transpiration process
occurs almost entirely inside the boundary layer, as shown by Scala
and Vidale [19]. Additionally, heat and mass transfer phenomena are
responsible for the diffusion of coolant species, for the vaporization of
coolant material, and for the heat fluxes present along the leading edge
of evaporative transpiration TPS. Heat and mass transfer phenomena
are confined deep within the boundary layer of evaporative transpira-
tion TPS, further motivating a complete solution of the full Naiver–
Stokes equations. Since the performance of transpiration TPS is
heavily dependent on boundary-layer phenomena, heat and mass
transfer phenomena, and the surface conditions along the leading
edge, DNS algorithms are preferred over simplified models. Simula-
tions using DNS algorithms are therefore used to directly simulate the
influence of mass diffusivity, viscosity, and thermal conductivity of the
gas phase mixture in the complete Naiver–Stokes equations without
any simplifying modeling of the flow.
In addition, chemical reactions are extremely important for both

atmospheric hypersonic flight, which exhibits substantial dissociation
of air species, and evaporative transpirationTPSusingmetallic coolants,
which may involve chemically reactive coolants. As such, a thermo-
chemical nonequilibrium solver is preferred to accurately simulate the
time-dependent effects of chemical reactions and vibrational energy
exchange, which may occur on a similar timescale as the flow speed.
Aluminum is considered as the metallic coolant for this study.

Aluminum has a molar mass of 27 g∕mol and a latent heat of
vaporization of 319 kJ∕mol. The saturation temperature of aluminum
at standard temperature and pressure is 2750 K. Due to aluminum’s
low molar mass and high latent heat of vaporization, it is expected that
large incident heat fluxes could be counteracted with low coolant mass
fluxes of aluminum, as shown by Ko et al. [6]. In addition, oxidation

reactions of aluminum are relatively well-documented, allowing for
more accurate solutions of the relevant chemical reactions. This is
important because it is currently unknown whether the oxidation
reactions will behave as though they are in a frozen state, a non-
equilibrium state, or an equilibrium state. At the flow temperatures
present in these solutions, aluminum is expected to oxidize readily
with the supply of oxygen provided by the freestream.
Therefore, three-dimensional steady-state simulations are conducted

using DNS algorithms for an evaporative transpiration TPS with an
aluminumcoolant. These simulations consider the complete solution of
the Naiver–Stokes equations for a reacting flow in thermochemical
nonequilibrium. The simulations are conducted within the laminar
region of the leading-edge surface. An altitude of 30 km and a Mach
number of 15 are chosen as the flight condition for this study. This flight
condition aligns with the center of the parametric study on flight
conditions conducted by Ko et al. [6] and represents the highest Mach
number along the lowest altitude curve for typical flight trajectories of
hypersonic vehicles from Anderson [5]. Low altitude flight conditions
are desirable for this study because higher density flows at low altitudes
require larger coolant mass fluxes [6]. This allows the effects of
exothermic oxidation reactions to be studied under themost demanding
flight conditions. The nose radius considered in this study is 3.1 mm,
once again matching the study of Ko et al. [6]. The DNS algorithms
consider theNaiver–Stokes equations formulated for 7 species (N2,O2,
NO,AlO,N,O,Al). Thermochemical nonequilibrium is accounted for
using a two-temperature model to represent translational-rotational
energy and vibrational energy. The conservative three-dimensional
Navier–Stokes equations are then formulated for a total of 7-species
conservation equations, 3 momentum conservation equations in the x,
y, and z directions, the total energy conservation equation, and the
vibrational energy conservation equation. The governing equations can
be expressed in vector form as

∂U
∂t

� ∂Fj

∂xj
� ∂Gj

∂xj
� W (1)

In Eq. (1), U represents the state vector of conserved quantities, Fj

represents the inviscid flux vector,Gj represents theviscous flux vector,

andW represents the source terms of each conserved quantity as

U�

ρ1

: : :

ρns

ρu1

ρu2

ρu3

ρe

ρev

W �

ω1

: : :

ωns

0

0

0

0

nms
s�1�QT−vs �ωsev;s�

Fj �

ρ1uj

: : :

ρnsuj

ρu1uj �pδ1j

ρu2uj �pδ2j

ρu3uj �pδ3j

�p� ρe�uj
ρevuj

Gj �

ρ1v1j

: : :

ρnsvnsj

−τ1j
−τ2j
−τ3j

−uiτij− kT
∂T
∂xj

− kv
∂Tv

∂xj
� nms

s�1 ρshsvsj

− kv
∂Tv

∂xj
� nms

s�1 ρshsvsj

Thediffusionvelocityof each species,vsj, is definedusingFick’s law
of diffusion:
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usj � Uj � vsj (2a)

vsj � −
Ds

cs

∂cs
∂xj

(2b)

where usj is the velocity of each species in the j-direction andDs is the

diffusivity of each species. The viscous stress τij is computed as

τij � μ
∂ui
∂xj

−
∂uj
∂xi

� 2μ

3

∂uk
∂xk

δij (3)

The viscous flux term Gj can be seen to be heavily influenced by

both viscous effects and diffusion of each species as governed by mass
transport phenomena.
Blottner’s relationship [29] is used to determine the viscosity and

thermal conductivity of air and aluminum. The coefficients from
Blottner et al. [29] and Gupta et al. [30] are used for the air species.
The evaporating species transport properties are estimated using
kinetic theory from Hirschfelder et al. [31]. The kinetic diameter
of aluminum vapor is estimated using a curve fit based on data
presented by Breck [32]. Wilke’s semi-empirical relationship [33] is
then used to calculate the viscosity and thermal conductivity of the
mixture. Finally, to determine the mixture diffusivity, a constant
Schmidt number of 0.5 is assumed, as in [34]. A Schmidt number of
0.5 is representative of flows where all species have a similar molar
mass [34]. The Schmidt number is defined as

Sc � μ

ρD
� 0.5 (4)

A. Thermochemical Nonequilibrium

The reactions contributing to dissociation and recombination of
each species are

N2 �M→2N�M (R1)

O2 �M→2O�M (R2)

NO�M→N� O�M (R3)

AlO�M→Al� O�M (R4)

N2 � O→NO� N (R5)

NO� O→N� O2 (R6)

N2 � O2→2NO (R7)

Reactions (R1–R4) are dissociation reactions, and reactions
(R5–R7) are exchange reactions. The reaction rates Rc for the
dissociation reactions are

Rc �
NS

s�1

−kf;c;s
ρr1
Mr1

ρs
Ms

� kb;c;s
ρp1

Mp1

ρp2

Mp2

ρs
Ms

(5)

The reaction rates for the exchange reactions are

Rc � −kf;c
ρr1
Mr1

ρr2
Mr2

� kb;c
ρp1

Mp1

ρp2

Mp2

(6)

The forward and backward components of each reaction, kf;c and
kb;c, are

kf;c � Cf;cT
ηc
a exp�−θd∕Ta� (7)

kb;c � kf;c∕Keq (8)

The forward reaction rates are computed from [35–39]. The
equilibrium constants calculated based on curve fits made from
Park [36], McBride et al. [40], and NIST-JANAF tables [41].
The vibrational energy per unit volume is

ρev �
NDS

s�1

ρsev;s �
NDS

s�1

ρs

NMOD

m�1

gs;mR

Ms

θv;s;m
exp�θv;s;m∕Tv� − 1

(9)

where gs;m is the degeneracy of each vibrational mode. NDS and
NMOD refer to the number of molecular species and the number of
vibrational modes of each species, respectively. The characteristic
vibrational temperatures and their degeneracies are taken from [36].
The vibrational characteristics of aluminum oxide are approximated
as those of silicon oxide from Johnston [38] due to lack of data on
aluminum oxide. The two species are assumed to have similar
vibrational characteristics due to the similar molecular weights of
the materials and the similarity between the bond of AlO and SiO.
To determine the source term in the vibrational energy, the Landau–
Teller expression is used:

QT−v;s � ρs
ev;s�T� − ev;s�Tv�

hτsi � τcs
(10)

Additionally, two dimensionless parameters are used to analyze
the prevalence of chemical nonequilibrium in the results. Both
parameters are evaluated along the stagnation line. The first
dimensionless parameter used is the chemical equilibrium ratio,
Kc, which describes the relationship between the equilibrium
condition for species concentration at a location in the flow and
the actual species concentrations at that location. The dissociation
reaction (R4) is considered when determining the chemical equi-
librium ratio:

Kc �
PAlPO

PAlOKeq;c

(11)

Where Ps represents the partial pressure of a given species and Keq

represents the equilibrium constant for reaction c. A chemical
equilibrium ratio of one shows that the species concentrations
agree with the values predicted by the equilibrium constant. A
value greater than one suggests that reaction (R4) has not reached
completion and that there is excess concentration of aluminum
and/or oxygen. A value less than one shows the reverse case. The
equilibrium ratio may deviate from one due to other reasons,
however, such as with fuel-rich or fuel-lean reaction environments
in combustion systems.
The second dimensionless parameter used is the chemical time-

scale ratio τ, defined as the ratio of the chemical timescale to the
flow speed:

τ � ωAlO � S

ρ0u0
(12)

where ω represents the species source term and is evaluated at
each point along the stagnation line, while the density and flow
speed ρ and u are taken at the stagnation point to better reflect the
mass flux of the vaporized aluminum coolant. S is a characteristic
length scale, taken in this case as the standoff distance of the
shock. This means that the chemical timescale ratio represents the
ratio between the rate at which aluminum oxide is forming and
the rate at which the mass flux of vaporized coolant would travel
along the stagnation line from the stagnation point toward the
shock.
In reality, the physical stagnation point is offset from the

leading-edge surface. This is due to the finite velocity of the
evaporative mass flux of coolant normal to the leading-edge
surface. As the flow speed approaches zero, the time constant
will approach infinity. This motivates the use of a consistent flow
speed parameter in defining the chemical timescale constant.
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It is suspected that the reaction location will be centered around

the physical stagnation point, along with the maximum concen-

tration of aluminum oxide. The colloquial definition of the stag-

nation point, being located at the surface, is used throughout

the rest of this paper to improve readability despite a nonzero

surface velocity. The physical stagnation point is specified when

needed.
Finally, the heat transfer coefficient HTC and mass transfer

coefficient MTC are evaluated for the external flow as

HTC � q

Tw − T0;inf

(13)

MTC � _ms

ρs;0 − ρs;inf
(14)

where s is the coolant species, 0 represents the stagnation point, and
inf represents freestream values. Note that q represents the incident

heat flux into the surface. Heat and mass diffusion into the liquid

coolant or solid leading-edge surface is not considered in this study.

Therefore, the HTC and MTC are only computed for the exter-

nal flow.
Typically, the HTC and MTC are calculated considering the wall

superheat and the species concentration inside the liquid compared

to the temperature and species concentration inside the gas phase.

This is because in most heat transfer applications, especially involv-

ing phase changes, a hot wall provides the necessary heat flux and

nucleation sites for a phase change to occur. Therefore, when

determining the HTC, the wall is the source of energy, the liquid

is the sink, and the heat flux is the energy flow from the source to the

sink. This frames the relationships describing the HTC and MTC as

being analogous to Ohm’s law, where the HTC and MTC are the

inverse of the resistance values.
In the case of coolant vaporization along a hypersonic leading

edge, the incoming gas flow is responsible for providing the

necessary heat flux for the liquid coolant to vaporize. Therefore,

for the HTC in Eq. (14), the source of energy is the freestream

flow, the liquid coolant is the sink, and the incident heat flux is

the transfer of energy between the two. For the MTC, the source

of coolant species is the surface concentration of gaseous coolant

as in the work of Scala and Vidale [19], the sink is the freestream

concentration of gaseous coolant, and the coolant mass flux is the

transfer of gaseous coolant between the two. This motivates the

definition of the HTC and MTC in this paper. Note that the value

of ρs;inf is zero, as there is no coolant naturally in the freestream.

The equations for the HTC and MTC are similar to those of Li

and Nagamatsu [42] and Nagamatsu et al. [43]; however, temper-

ature has been used here instead of enthalpy in order to keep the

HTC and MTC dimensional as in other phase change research

such as in the works of Li and Nagamatsu [42] and Nagamatsu

et al. [43].
Additionally, the freestream stagnation temperature is expected

to be much larger than the wall temperature. This is because the

wall temperature is lowered by all cumulative thermodynamic

effects along the stagnation line such as energy absorption by the

vibrational energy mode, dissociation of molecular species, and

the cooling flux provided by the TPS itself. Because the temper-

ature difference between the freestream stagnation temperature

and the surface temperature is expected to be very large, the HTC

is expected to be much lower for evaporative transpiration TPS

than with other phase change phenomena.

B. Numerical Model

A high-order accuracy shock-fitting algorithm developed by

[34,44] is used for spatial-discretization. The coordinate system

undergoes a transformation from the Cartesian coordinate system

�x; y; z; t� to the shock-fitted coordinate system �ξ; η; ζ; τ� parallel,
normal, and tangential to the leading-edge surface.

∂
∂x

∂
∂y

∂
∂z

∂
∂t

�

ξx ηx ζx 0

ξy ηy ζy 0

ξz ηz ζz 0

0 ηt 0 1

∂
∂ξ

∂
∂η

∂
∂ζ

∂
∂τ

and

∂
∂ξ

∂
∂η

∂
∂ζ

∂
∂τ

�

xξ yξ zξ 0

xη yη zη 0

xζ yζ zζ 0

xτ yτ zτ 1

∂
∂x

∂
∂y

∂
∂z

∂
∂t

(15)

The Naiver–Stokes equations in the transformed coordinates are
rewritten as

1

J

∂U
∂τ

� ∂E 0

∂ξ
� ∂F 0

∂η
� ∂G 0

∂ζ
� ∂E 0

v

∂ξ
� ∂F 0

v

∂η
� ∂G 0

v

∂ζ
�U

∂�1∕J�
∂τ

� W

J

(16)

with

E 0 � F1ξx � F2ξy � F3ξz
J

(17a)

F 0 � F1ηx � F2ηy � F3ηz
J

(17b)

G 0 � F1ζx � F2ζy � F3ζz
J

(17c)

E 0
v �

G1ξx �G2ξy �G3ξz
J

(17d)

F 0
v �

G1ηx �G2ηy �G3ηz
J

(17e)

G 0
v �

G1ζx �G2ζy �G3ζz
J

(17f)

A seven-point stencil is then used to discretize the spatial deriv-
atives as

∂fi
∂x

� 1

hbi

3

k�−3
ai�kfi�k −

α

6!bi
h5

∂f6

∂6x
(18)

with

ai�3 � �1� 1

12
α (19a)

ai�2 � �9� 1

2
α (19b)

ai�1 � �45� 5

4
α (19c)

ai � −
5

3
α (19d)

bi � 60 (19e)
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where α in this equation is a term representing the artificial

dissipation.
For simulations without a reacting coolant, the third-order

Runge–Kutta time-stepping algorithm developed by Williamson

[45] is used to advance the solution in time. Oxidation reactions

occur extremely fast; however, to resolve those reactions, a second-

order trapezoidal scheme by Mortensen [34] is used.

C. Boundary Conditions

The wall boundary conditions are obtained by taking the surface

mass balance for each chemical species:

_ms � ρsun − ρDs

∂cs
∂η

(20)

and the energy balance at the surface:

kT
∂T
∂η

� kv
∂Tv

∂η
�

Ns

s�1

ρhsDs

∂cs
∂η

� σϵT4 � _m
Ns

s�1

cshs;0 (21)

where

hs;0 � cvs �
R

Ms

T � evs � h∘s �
1

2
�u21 � u22 � u23� (22)

The energy balance considers the conductive heat flux, the mass

diffusion heat flux, and the radiative heat flux. The conductive heat

flux into the leading-edge surface is considered equal to the energy

needed to raise the aluminum to its saturation temperature. Note that

k is the thermal conductivity of the mixture, Ds is the diffusivity of

each species, cs is the species mass fraction, hs is the species

enthalpy, hs;0 is the stagnation enthalpy of each species, and η is

the wall-normal direction.
One of the species mass flux equations is substituted for the

equation of state of the gas mixture. The pressure gradient at the

surface is nonzero owing to the mass flux of vaporizing coolant.

Lagrange polynomials are used to extrapolate pressure toward the

surface as in [34]. The primitive flow variables of species density,

wall-normal velocity, and temperature are solved for using these

boundary conditions.
The surface mass flux _ms of the vaporizing coolant is obtained

using the Hertz–Knudsen equation:

_ms � αs
M

2πRTw

�Peq − Ps� (23)

Ps is the partial pressure of the coolant vapor and Peq is the

saturation pressure of the coolant vapor at surface conditions; αs is
the accommodation coefficient and represents the probability that a

molecular collision will lead to a reaction. For vaporization reac-

tions, the accommodation coefficient for liquids has been shown to

be typically equal to one [19]. The saturation pressure at surface

conditions is calculated using the Clausius–Clapeyron equation:

Peq � P� exp
L

R

1

T� −
1

Tw

(24)

P� and T� are the saturation pressure and temperature of aluminum

under standard conditions.
The surface mass flux, species mass balance, and energy balance

equations for the boundary conditions are coupled, and so require an

iterative procedure to solve. A second-order Taylor series is used to

represent the change in the primitive flow variables between iter-

ations. Newton’s iteration method is used to obtain a solution to the

boundary conditions. For further details about the solution pro-

cedure to these boundary conditions, see [34].

III. Validation of the Models

The DNS algorithms, chemical reactions, boundary conditions,
and vaporization process were previously validated for a 5-species
air code, a 6-species code with a nonreacting coolant, and an 11-
species code with carbon ablation. The validation of the DNS
algorithms and the 5-species nonequilibrium code is detailed in
[46]. The validation of the 6-sepcies code is detailed in [6]. The
validation of the 11-species code is detailed in [34]. The previous
validation studies [6,34,46] serve to validate the unchanged portion
of the DNS code used in this study.
The previous 6-species code considered a nonreacting coolant.

The 6-species simulations with aluminum coolant therefore con-
sider the species of (N2, O2, NO, N, O, Al). Changes made to the 6-
species code of [6] resulted in a new 7-species code allowing for an
additional chemical reaction between the coolant species and atomic
oxygen. There are currently no experimental data available to
directly validate the new 7-species code. Instead, a comparison case
is conducted for the new 7-species code with the reaction rate of the
new oxidation reaction set to 0. These results are compared to the
previously validated 6-species code considering the same coolant
material. The comparison shows proper implementation of all new
algorithms in the new code. The comparison is shown in Table 1.
Once again, the colloquial definition of the stagnation point, being
located at the surface, is used here despite a nonzero surface
velocity.
The difference between the 6-species and 7-species solutions for

nonreacting coolants is negligible, less than 0.1% for flow variables
and surface heat and mass fluxes. The small differences may be
attributed to the different time-stepping algorithms used in each
code, the iterative procedure used inside the boundary conditions,
and the different time convergence history of each solution. These
small and explainable differences serve as validation of the 7-
species code.
Stagnation line profiles of the mass fraction of aluminum and

oxygen for the nonreacting 6- and 7-species solutions are presented
in Fig. 2. The x-axis is normalized as a percentage of the standoff
distance of the shock, and the solution is plotted on a semilog scale.
The left and right bounds of the plotting regions are the postshock
and near-surface locations, respectively.
Figure 2 shows that the nonreacting 6- and 7-species solutions are

indistinguishable along the entire stagnation line. The reaction rate
is then slowly increased in the 7-species code to verify that the new
reactions are implemented correctly. The solutions show proper
conservation of mass and energy principles. Additionally, the reac-
tion rates are confirmed to vary with temperature as described in
established literature [35–41], showing proper implementation of
the reaction curve fits. The expected changes in the flow due to the
implementation of these chemical reactions are observed, specifi-
cally in temperature due to the additional energy released by the
exothermic reaction.
Additionally, a grid refinement study is performed considering

grid sizes of 30 × 80, 60 × 160, 120 × 320, and 240 × 640 grid
points. The results show that there is at most a 0.33% difference
in the stagnation point pressure and a 0.71% difference in the
concentration of aluminum at the stagnation point among the differ-
ent grid sizes studied. The 120 × 320 grid size is used in this study to

Table 1 Comparison of the stagnation point properties for
nonreacting flow solutions

Property 6-species 7-species nonreacting

Pressure, kPa 328.6 328.6
Temperature, K 2646 2647
Density, kg∕m3 0.375 0.375

Mass fraction of Al 0.186 0.186
Coolant mass flux, kg∕�m2 ⋅ s� 0.986 0.987

Incident heat flux, MW∕m2 15.05 15.06

Evaporative heat flux, MW∕m2 13.66 13.67

Radiative heat flux, MW∕m2 1.389 1.391
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obtain high-resolution solutions inside the boundary layer. Addi-
tional information about the relative error between the grid sizes

used can be found in Table 2, based on the procedures of Celik
et al. [47].
Solutions are obtained using Purdue’s ANVIL high-performance

computing clusters, which consist of compute nodes with 128 cores
per socket. The solutions are run from previously converged sol-

utions published in [6], which considered similar coolant materials.

This provided an initial guess close to converged results and reduced
the computational time needed to reach converged solutions.
Figure 3 shows the stagnation pressure, the saturation pressure of

aluminum along the leading-edge surface, and the partial pressure of

aluminum along the leading-edge surface. These variables are plot-
ted for both the 7-species reacting coolant solutions and the
6-species nonreacting coolant solutions. The leftmost boundary is
the stagnation location, and traveling rightward corresponds to
traveling circumferentially along the leading-edge surface. The
stagnation quantity is taken at the surface for clarity, despite a finite
surface mass flux of coolant.
As can be seen in Fig. 3, the partial pressure of aluminum vapor is

lower than the saturation pressure of aluminum along the entire
surface. This is consistent with Eq. (23), and coolant flows toward
the surface along the entire leading-edge where it is vaporized. If the
saturation pressure of aluminum were to drop below the partial
pressure of aluminum, then condensation would be expected to
occur. The relationship between the different pressures shown in
Fig. 3 expresses specific observable trends that match how the flow
should be behaving physically. This check serves to validate that the
physical relationships governing the coolant mass flux are appro-
priate. The total surface pressure remains well above the other
pressures shown in Fig. 3.

IV. Impact of Coolant Vapor Oxidation

In order to determine the effect of coolant oxidation on the
performance of evaporative transpiration TPS, a 7-species study is
conducted considering the oxidation of aluminum coolant vapor.
Figure 4 shows contour plots of temperature for the 6- and
7-species solutions. The standoff distance of the shock varies

Fig. 2 Normalized stagnation line profiles of the species mass fractions

for the nonreacting 6- and 7-species solutions.

Table 2 Relative error in cAl between grid sizes

Grid Relative error, % eext, % GCIfine, %

60 × 160 0.71 1.7 2.1

120 × 320 0.51 1.2 1.5

240 × 640 0.09 0.02 0.03

Fig. 3 Surface pressure comparison.
Fig. 4 Contour plots of the temperature for 6-species (top) and
7-species (bottom) solutions.
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between different solutions as a result of differences in the flow

properties caused by the oxidation reaction. Therefore, in sub-

sequent figures, the x-axis is rescaled to be normalized as a

percentage of the standoff distance of the shock. The normaliza-

tion procedure allows for a more direct comparison between the

different solutions. These results are plotted on semilog plots,

with the x-axis being in log scale. The semilog plot allows for

better comparison of the results near the stagnation point, where

the gradients of flow variables become important. The normalized

logarithmic x-axis is used in Fig. 5, showing a comparison of the

mass fractions of reacting species along the stagnation line

between the 6- and 7-species solutions, and Fig. 6, showing a

comparison of the temperature and vibrational temperature along

the stagnation line between the 6- and 7-species solutions. In these

figures, the left and right bounds of the plotting regions are the

postshock and near-surface locations, respectively. Because the

normalization process leaves the wall grid point at a normalized,

distance of zero along the stagnation line, the wall gird point is not

shown. All other data points are shown. Once again, the colloquial

definition of the stagnation point, being located at the surface, is
used here despite a nonzero surface velocity.
The temperature for the 7-species solution in Fig. 4 can be seen to

be elevated near the leading-edge surface when compared to the
6-species solution. Figure 6 shows a specific region of elevated
temperature in the 7-species solution, which is not present in the
6-species solution. The flow temperature is about 2500 K hotter at
this location in the 7-species solution. The peak temperature of this
region of elevated temperature occurs at a normalized distance of
0.057 along the stagnation line, or approximately 20 micrometers
from the stagnation point in physical length. Figure 5 shows that the
location of maximum oxide concentration occurs at 0.053 along the
stagnation line. The relative closeness of these regions suggests that
the region of elevated temperature is caused by the energy released
through the exothermic oxidation reaction of aluminum and the
resulting formation of aluminum oxide. Additionally, the thermal
conductivity of the gas mixture in the 7-species solution is 11%
lower than in the 6-species solution at the stagnation point. There-
fore, the increased incident heat flux must be due to a larger temper-
ature gradient and not differing properties of the gas mixtures.
Figure 7 presents contour plots of the mass fractions of aluminum

species in the 7-species solution. This figure also shows streamlines
as white lines. This plot is zoomed in near the stagnation point to
better illustrate the species concentration profiles. The left and right
bounds of the contour regions are the postshock and near-surface
locations, respectively.
Figures 5 and 7 show the stagnation point mass fraction of

aluminum is equal to 0.173 for the 7-species solution, which is
7% lower than the 6-species solution. This result is counterintuitive,
as the exothermic oxidation reaction should increase the incident
heat flux and lead to an increase in the required coolant mass flux. A
larger coolant mass flux should raise the near-surface concentration
of coolant. While the oxidation reaction does consume aluminum in
the 7-species solution, drawing more aluminum vapor into the flow,
there is also a large presence of aluminum oxide at the stagnation
point in the 7-species solution. Figures 5 and 7 show a stagnation
point mass fraction of 0.34 aluminum oxide. The high mass fraction
of the relatively heavy aluminum oxide and the consumption of the
additional supply of aluminum to produce this oxide decrease the
near-surface concentration of aluminum vapor.
Figure 5 and 7 also show that the location of the maximum

concentration of aluminum oxide occurs away from the surface, at
the same location where all oxygen and aluminum are consumed in
the 7-species solution. This suggests that the reaction occurs
instantly at this location, as upstream of this location there is no
aluminum present to form aluminum oxide, and downstream of this
location there is no oxygen to form aluminum oxide. The changing
concentration gradients of the reactant species are due to diffusion
of the aluminum oxide product away from the reaction location,
lowering the mass fraction of the other species. The streamlines in
Fig. 7 illustrate that the physical stagnation point is offset from the
leading-edge surface.
Figure 8 shows the bulk velocity of the flow as well as the

diffusion velocity, from Eq. (2b), of each reacting species along
the stagnation line for the 7-species solution. The distance along the
stagnation line has been normalized by the standoff distance of the
shock and plotted on a semilog axis. Note that the diffusion velocity
is not equivalent to the species velocity. A black horizontal line
through 0 m/s has been drawn for easy reference, as well as a red
vertical line at the location of the maximum mass fraction of
aluminum oxide. Also note that the velocity presented in this figure
is the x component of velocity along the stagnation line. As such,
velocities pointing downstream of the shock are positive as per the
coordinate system seen in Fig. 7.
Figures 7 and 8 show that the bulk velocity is directed away from

the stagnation point when near the leading-edge surface, owing to
the vaporization of coolant. There is also no oxygen available to
react in this region, so no aluminum oxide can form here. The
aluminum oxide present near the leading-edge surface is suspected
to have been transported from upstream via diffusion. This is
confirmed by the diffusion velocity profile in Fig. 8. Figure 8 also

Fig. 5 Normalized stagnation line profiles of the species mass fractions
for 6- and 7-species solutions.

Fig. 6 Normalized stagnation line profiles of the temperature and
vibrational temperature for 6- and 7-species solutions.
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confirms that the results are physical because the diffusion velocity
of aluminum oxide is directed away from the location of maximum
aluminum oxide concentration.
The diffusion velocity of aluminum oxide is substantial, being

comparable to or in excess of the bulk velocity. The diffusion

velocity of aluminum downstream of the location of maximum
aluminum oxide concentration location is substantially larger than
the bulk velocity in the region and directed upstream toward the
location of maximum aluminum oxide concentration. The large
diffusion velocity of aluminum shows that the diffusive mass flux

is larger than the evaporative mass flux, motivating the need for a
thermochemical nonequilibrium flow solver as discussed with Scala
and Vidale [19] and Charwat [20].
Aluminum’s diffusion velocity approaches infinity as all alumi-

num is consumed. The value for the diffusion velocity of aluminum
upstream of the location of maximum aluminum oxide concentra-
tion is not physically meaningful, as there is not a significant

concentration of aluminum past this location. The diffusion velocity
approaches infinity because both the concentration and the concen-
tration gradient in Eq. (2b) driving the diffusion velocity approach
infinity. The concentration approaches infinity more rapidly than the
concentration gradient does, so the diffusion velocity approaches

infinity.
The diffusion velocity of atomic oxygen upstream of the location

of maximum aluminum oxide concentration can be seen approach-
ing infinity and moving in the downstream direction. Once again,

this is because at the location of maximum aluminum oxide con-
centration there is not a significant concentration of atomic oxygen,

and the diffusion velocity becomes nonphysical. Near the postshock
region, the diffusion velocity of all the species plotted approaches

infinity as the postshock condition assumes that the flow is com-
posed of only undissociated air,N2, andO2. The concentration of all

the other species at the postshock location is zero.
Finally, the bulk velocity at the location of maximum aluminum

oxide dissociation is zero. This physical stagnation point, where the
flow speed is zero, can be seen to be offset from the leading-edge

surface as discussed with Eq. (12). As the flow speed approaches
zero, the oxidation reaction has effectively an infinite amount of

time to proceed, leading to the large formation of aluminum oxide at
this location. These observations confirm and explain the species

concentration profiles of Figs. 5 and 7. Additionally, these findings
solidify the necessity for fully solving the Naiver–Stokes equations
to account for mass diffusivity, viscosity, and thermal conductivity

due to the prevalence of these phenomena.
Table 3 presents the important flow variables and the surface mass

and heat fluxes for the 6- and 7-species solutions at the stagnation

point. Additionally, a 6-species solution is shown considering a
coolant identical to nonreacting aluminum but with a latent heat

of vaporization a factor of 2.5 times less than that of aluminum. A
third 6-species solution is shown for a nonreacting coolant with a
molar mass that is a factor of 2.6 times greater than that of alumi-

num. The values of 2.5 and 2.6 are approximate and are chosen to
keep the coolant properties as rational values, while achieving a

coolant mass flux similar to the reacting 7-species case. These
additional solutions are obtained to further evaluate the effect of

coolant oxidation on the performance of an evaporative transpiration
TPS. A previous study by Ko et al. [6] shows how coolant properties

alter evaporative transpiration TPS performance. Using the results
from [6], it is determined that the required coolant mass flux of

aluminum, when undergoing oxidation, is equivalent to the required
coolant mass flux of a nonreacting coolant with the decreased latent
heat of vaporization or the increased molar mass. Once again, the

colloquial definition of the stagnation point, being located at the
surface, is used here despite a nonzero surface velocity.
Table 3 demonstrates that the coolant oxidation reaction raises the

stagnation temperature to 2681 K, a 1.3% increase from the non-
reacting 6-species solution. An increase in surface temperature is

expected due to the increased heating from the exothermic oxidation
reaction. However, there is an exponential relationship between the
surface temperature and the mass flux as shown by Eqs. (23) and

(24). As such, the surface temperature will remain near the satu-
ration temperature of aluminum, as even a small increase in the

surface temperature in Eq. (24) greatly raises the evaporate mass
flux in Eq. (23). A small mass flux of vaporizing coolant can

provide a large evaporative heat flux, and so a small increase in

Fig. 7 Contour plots for the 7-species mass fractions of Al (left) and AlO (right).

Fig. 8 Bulk and diffusion velocities.
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surface temperature can lead to a large evaporative heat flux. This
phenomenon keeps the surface temperature of an evaporative tran-
spiration TPS near the saturation temperature of its coolant and has
been observed in previous studies such as [6,17].
However, the exothermic coolant oxidation reaction does increase

the coolant mass flux substantially to 2.23 kg∕�m2 ⋅ s�, a 126%
increase over the nonreacting 6-species solution. This is because
the exothermic oxidation reaction creates the region of elevated
temperature as observed in Fig. 6. The region of elevated temper-
ature increases the temperature gradient inside the boundary layer
significantly, thereby increasing the incident heat flux and required
evaporative heat flux by Eq. (21). A larger evaporative heat flux can
only be supplied by increasing the coolant mass flux. As a result, the
7-species solutions show a roughly twofold increase in the coolant
mass flux and the evaporative heat flux at the stagnation point.
Because the surface temperatures between the 6- and 7-species
solutions are similar, the radiative heat fluxes also remain similar.
Table 3 also shows an increase in density for the 7-species

solution. This is due to the increased mass of coolant injected into
the flow with the increased coolant mass flux. However, the stag-
nation pressure and surface temperature remain similar between the
different solutions, as shown in Figs. 3 and 6. The increase in
density is offset by the corresponding increase in the flow mixture’s
molar mass. This balances the right-hand side of the equation of
state, such that the stagnation pressure remains nearly unchanged.
The solution for the coolant with the decreased latent heat of

vaporization shows the expected twofold increase in the stagnation
point mass flux, visible in Table 3. Worth noting is the decrease in
both the incident heat flux and evaporative heat flux for this solution
when compared to the original 6-species solution. Ko et al. [6] have
shown that coolants with smaller latent heats of vaporization create
smaller thermal gradients inside the boundary layer. As such, both
the incident and evaporated heat flux decrease with decreasing latent
heat of vaporization. The required coolant mass flux remains high
due to the decreased cooling potential of the coolant with the
decreased latent heat of vaporization. Table 3 also shows that the
mass fraction of aluminum for the solution with the decreased latent
heat of vaporization is larger than solutions considering aluminum’s
accepted latent heat. This is due to the larger coolant mass flux
required of the less potent coolant material.
The solution with the increased molar mass of coolant shows very

similar trends as the solution with the decreased latent heat of
vaporization. This is consistent with the results from Ko et al. [6].
The most significant difference between these solutions is in the
slightly larger surface density, mass fraction of aluminum, and
required coolant mass flux in the solution with the increased molar
mass. This is because the coolant with the increased molar mass
differs from the properties of aluminum by a factor of 2.6 rather than
a factor of 2.5. This leads to more exaggerated changes in the
solution with the increased molar mass as this property was changed
more. These relationships are highly nonlinear and interdependent,
and different properties were adjusted between the two solutions. As
a result, the solutions with the increased molar mass and decreased

latent heat do not differ proportionally to how their coolant material
properties were altered.
The HTC andMTC are reported in Table 3. For both the HTC and

MTC, the case with increased molar mass has the lowest value,
followed by the case for decreased latent heat of vaporization, then
the 6-species solution, and finally the 7-species solution has the
highest HTC and MTC. This ordering of the HTC and MTC can be
explained by the relationship between the evaporative heat flux and
the HTC and MTC. The evaporative heat flux is the main heat flux
balancing the incident heat flux in Eq. (21) and sets the demand for
the coolant mass flux by influencing the surface temperature in
Eqs. (23) and (24). Therefore, the change in the HTC and MTC
between the 6- and 7-species solutions is roughly proportional to the
change in the required coolant mass flux. The steeper temperature
gradient in the 7-species solution, as observed with Fig. 6, is
responsible for a larger incident heat flux, which in turn necessitates
the larger HTC.
Additionally, the solutions with increased molar mass and

decreased latent heat of vaporization have similar HTC and MTC
because they have similar evaporative coolant fluxes, and their
properties were varied by nearly the same factor. The molar mass
varied slightly more than the latent heat of vaporization, so the
solution with increased molar mass has the lowest HTC and MTC
by a slight margin. The flow velocity at the stagnation point can be
seen to increase with increased coolant mass flux and MTC.
The stagnation point velocity is within an order of magnitude of

the MTC for each solution, showing that the values of the MTC
reported are physical and not unreasonably large or small. It is
reasonable that the MTC is larger than the flow velocity, as the
diffusion velocity of aluminum is larger than the bulk velocity at the
stagnation point, as shown in Fig. 8. As a reference, the diffusion
velocity of aluminum is −22.6 m∕s and the species velocity of
aluminum is −27.4 m∕s at the stagnation point for the 7-species
solution. The negative velocities signify flow upstream, away from
the leading-edge surface, as with Fig. 8.
The ratio of the incident heat flux to the required mass flux should

be roughly proportional to the latent heat of vaporization of the
coolant on a per-mass basis (kJ∕kg) in order for the vaporization of
coolant to absorb the incident heat flux as per Eq. (21). The ratio of
the HTC to MTC remains similar for all cases, showing this propor-
tional relationship. The maximum HTC for the vaporization of

water is around 2 × 104 �W∕m2 ⋅ K� as reported by Narayan et al.
[48] and Stephan et al. [49]. Due to aluminum having a larger latent
heat of vaporization than water, it is expected that the maximum
HTC for the 6-species case should be on the order of magnitude of

approximately 0.1 �MW∕m2�. The results for the HTC are therefore
confirmed to be less than this approximate maximum value. The
reported values of the HTC are far smaller than this approximate
maximum, as discussed with Eq. (14). This is due to the physical
differences between traditional boiling phase change and the vapori-
zation of coolant along a hypersonic leading edge and the different
temperatures used to calculate the HTC as a result. The freestream
stagnation temperature for this flow, Mach 15 and 30 km altitude, is

Table 3 Comparison of the stagnation point flow properties

Property 6-species 7-species reacting 6-species 1∕2.5h∘s 6-species 2.6 M

Pressure, kPa 328.6 328.6 328.6 328.6
Temperature, K 2646 2681 2656 2654
Density, kg∕m3 0.375 0.465 0.468 0.489

Mass fraction of Al 0.186 0.174 0.364 0.380
Coolant mass flux, kg∕�m2 ⋅ s� 0.986 2.23 2.20 2.32

Incident heat flux, MW∕m2 15.05 32.36 13.81 13.81

Evaporative heat flux, MW∕m2 13.66 30.90 12.40 12.40

Radiative heat flux, MW∕m2 1.389 1.465 1.410 1.406

HTC, kW∕�m2 ⋅ K� 1.87 4.04 1.72 1.72

MTC, m∕s 14.1 27.6 12.9 12.5

Tw∕T0;inf 0.247 0.251 0.248 0.248

u0, m∕s −2.63 −4.80 −4.70 −4.74
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10,669 K. The ratio of the wall temperature to the freestream
stagnation temperature is also reported in Table 3, with values
similar to those of Lin and Nagamatsu [42] and Nagamatsu et al.
[43], among other studies.
Figure 9 shows the mass flux of aluminum along the leading-edge

surface for the 7-species reacting solution, the 6-species nonreacting
solution, and both of the 6-species nonreacting solutions with
decreased heat of formation and increased molar mass. The leftmost
boundary is the stagnation location, and traveling rightward corre-
sponds to traveling circumferentially along the leading-edge
surface.
Figure 9 illustrates the trend in coolant mass flux at the stagnation

point observed in Table 3. The coolant mass flux decreases down-
stream of the stagnation point. This is expected as the surface
heating becomes less severe further away from the stagnation point.
The supplied coolant mass flux is balanced by diffusion of coolant
away from the surface as discussed with Fig. 8. The partial pressure
of aluminum is thereby maintained slightly below the saturation
pressure of aluminum downstream the leading-edge surface as
discussed with Fig. 3 and Eq. (23). The 6-species nonreacting
solutions with decreased heat of formation or increased molar mass
experience an increase in the required coolant mass flux when
compared with the solutions of the nonreacting aluminum coolant.
The decreased cooling potential per unit mass of these coolants
leads to larger required coolant mass fluxes and larger quantities of
coolant vapor. The original 6-species nonreacting solution maintains
a coolant mass flux of roughly half of the other solutions along the
entire surface owing to its smaller required coolant mass flux.
The results in this section show a roughly twofold increase in the

required coolant mass flux at the stagnation point due to the
exothermic oxidation reaction. This increase is roughly equivalent
to a reduction in the coolant latent heat of vaporization by a factor of
2.5 or an increase in the coolant molar mass by a factor of 2.6. The
performance drawbacks of using a coolant susceptible to oxidation
are significant, and the effects of oxidation must be accounted for
during design. Due to its low molar mass and high latent heat of
vaporization, however, aluminum and similar materials remain
competitive when compared with other coolants studied in Ref. [6].

V. Impact of Reaction Speed

In order to further explore how oxidation reactions impact the
performance of evaporative transpiration TPS, a study is conducted
varying the reaction rate coefficient Cf;c as found in Eq. (7) of the
aluminum oxidation reaction (R4). Reaction rate data for various
oxidation reactions are presented by Johnston and Cohen [38,39].
The value of the reaction rate coefficient for the oxidation of

aluminum reaction is reported to be Cf;c � 2 × 1010. Typical reac-

tion rate coefficients for oxidation of atomic species range as low as

Cf;c ∼ 106, while reaction rate coefficients for oxidation of molecu-

lar species range as low as Cf;c ∼ 101. Additionally, the exponent ηc
in Eq. (7) typically ranges from ηc � −0.9 to ηc � 2.8. An ηc of

zero is reported for the oxidation of aluminum reaction. With

ηc � −0.9, the reaction speed is lowered nearly proportionally with

the surface temperature when compared to a case where ηc is zero.
Therefore, with surface temperatures on the order of magnitude of

1000 K, the low end of the reaction rate coefficients considered in

this study is reduced three orders of magnitude lower than the value

of Cf;c ∼ 101, while ηc is left as zero. This value of Cf;c ∼ 10−2

thereby represents the slowest feasible oxidation reaction, roughly

equivalent to Cf;c ∼ 101 and ηc � −0.9 with a surface temperature

on the order of magnitude of 1000 K. The value of Cf;c ∼ 10−2 is

conservatively low, requiring both the lowest possible values of Cf;c

and ηc for an oxidation reaction of a molecular species to be

feasible.
Still, the reaction rate coefficient was varied by two orders of

magnitude around the value of Cf;c ∼ 10−2 to further explore the
behavior of the reaction near this region. Therefore, the values of the

reaction rate coefficient are varied from their full value of Cf;c �
2 × 1010 to a value of 2 × 10−4. A value of Cf;c � 2 × 1013 is also

included to determine how a faster reaction would affect the per-

formance of an evaporative transpiration TPS. The zero reaction rate

of the nonreacting 7-species study from the validation section is

included as well. Results for higher reaction rate coefficients are
focused on through most of this section because they are more

physically relevant, but the results for lower reaction rates are still

included in figures when discussion is warranted.
Figures 10–12 present separate subplots of the mass fractions of

different reacting species along the stagnation line for the different

reaction rates considered. The x-axis in these figures is rescaled to

be normalized as a percentage of the standoff distance of the shock,
allowing for direct comparison between different values of the

reaction rate coefficient. A semilog axis is used to better illustrate

trends close to the stagnation point. The left and right bounds are the

postshock and near-surface locations, respectively. Once again,
the colloquial definition of the stagnation point, being located at

the surface, is used here despite a nonzero surface velocity.
Figures 10–12 illustrate that for reaction rate coefficients of

Cf;c ≥ 2 × 104, there is no substantial change in the production of

aluminum oxide. Additionally, for all solutions with Cf;c ≥ 2 × 104,

all oxygen in the flow reacts to form aluminum oxide by a

Fig. 9 Surface plot the of coolant mass flux.
Fig. 10 Normalized stagnation line profiles of the species mass fraction
of AlO for varying reaction rates.
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normalized distance of about 0.06, or approximately 20 microme-

ters away from the stagnation point. This observation suggests that

the flow variables are not sensitive to increasing the reaction rate

coefficient above Cf;c � 2 × 104.

For a reaction rate coefficient of Cf;c � 2 × 101, the species
concentrations along the stagnation line begin to change. A slight

decrease in the maximum value of aluminum oxide’s mass fraction

is observed, and the location of the maximum aluminum oxide
concentration moves closer toward the stagnation point. The con-

centration of oxygen remains above zero closer to the stagnation

point as well, but all oxygen is still consumed upstream of the
stagnation point. This suggests a completed reaction by the time

the flow reaches the leading-edge surface. The mass fraction of

aluminum remains greater than zero further away from the stagna-
tion point than for cases with faster reaction rate coefficients.
For a reaction rate coefficient of Cf;c ≤ 2 × 10−1, the surface

concentration of aluminum oxide is at or near its maximum value
at the stagnation point. This leads to a flat concentration gradient

of aluminum oxide near the stagnation point for these cases. This

suggests that the maximum production of aluminum oxide is

occurring along the leading-edge surface for the lower reaction
rate coefficients. Additionally, the mass fraction of the aluminum
profile at these reaction rate coefficients matches the profile for all
lower reaction rate coefficients. The mass fraction of oxygen is
less than five percent at the stagnation point but still visibly above

zero. For a reaction rate coefficient of Cf;c � 2 × 10−2, oxygen

and aluminum coexist with aluminum oxide at the stagnation
point. The stagnation point mass fraction of oxygen is 0.067, as
seen in Fig. 12.
Moving to a reaction rate coefficient of Cf;c � 2 × 10−3, the

oxidation reaction nearly halts. Only a small amount of aluminum
oxide is formed, with a mass fraction of 0.044 at the stagnation
point. Nearly all of the atomic oxygen reaches the stagnation point.

Therefore, a reaction rate coefficient of Cf;c � 2 × 10−3 can be

considered the highest reaction rate value for the oxidation reaction
to remain chemically frozen, with results nearly identical to the
nonreacting solutions.
The reactions exhibit a dramatic change over a small range of

reaction rate coefficients, consuming all oxygen for Cf;c ≥ 2 × 101,

but acting chemically inert in a frozen state for Cf;c ≤ 2 × 10−3. As

a note, Cf;c � 2 × 10−3 is below the minimum feasible reaction rate

coefficient ofCf;c � 2 × 10−2. Finally, for a reaction rate coefficient

of Cf;c � 2 × 10−4, the mass fractions of reacting species are

indistinguishable from the nonreacting case.
Then, for a favorable equilibrium constant with reactant species

present, as shown in Ko et al. [6], oxidation reactions will occur for
any feasible reaction rate. If these conditions are not met, then the
reaction does not occur and can be neglected entirely. For a
reaction rate coefficient as small as Cf;c � 2 × 10−1, 10−11 times
lower than its accepted value, oxidation of aluminum coolant is
significant, and there is near-complete consumption of oxygen
species. The slowest feasible reaction rate coefficient is only an
order of magnitude lower than this and still leads to substantial
production of aluminum oxide and consumption of oxygen by the
time the flow reaches the leading-edge surface. Therefore, even
extremely slow oxidation reactions cannot be neglected if their
equilibrium constant is large. Only unfeasibly slow oxidation
reactions lead to frozen flow conditions.
Figure 13 presents the temperature and vibrational temperature

along the stagnation line for selected reaction rate coefficients.
Only select values of Cf;c are plotted for clarity. The values of Cf;c

plotted correspond to the values from Figs. 10–12 that best cover
the distribution of the different reaction rate conditions for equi-
librium, nonequilibrium, and frozen flow. The x-axis in Fig. 13 is
normalized as a percentage of the standoff distance of the shock,

Fig. 13 Normalized stagnation line profiles of the temperature and
vibrational temperature for different reaction rates.

Fig. 11 Normalized stagnation line profiles of the species mass fraction
of Al for varying reaction rates.

Fig. 12 Normalized stagnation line profiles of the species mass fraction
of O for varying reaction rates.
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allowing for direct comparison between different values of the
reaction rate coefficient. The normalized distance is plotted on a
semilog scale to clearly illustrate results near the stagnation point.
The left and right bounds are the postshock and near-surface
locations, respectively.
Figure 13 depicts a region of elevated temperature for reaction

rate coefficients of Cf;c ≥ 2 × 104, roughly 2500 K above the non-
reacting solution. This maximum temperature occurs at the same
location as the maximum concentration of aluminum oxide, as
discussed with Fig. 6. A temperature increase at this location is
expected due to the exothermic nature of aluminum oxide produc-
tion and is responsible for dramatically increasing the incident heat
flux as previously discussed.
For a reaction rate coefficient of Cf;c � 2 × 101, the region of

elevated temperature is approximately 1000 K above the nonreact-
ing solution, though the temperature gradient near the stagnation
point is similar to that of higher reaction rate coefficients. As
discussed with Figs. 10, 11, and 12, the location of maximum
aluminum oxide concentration occurs closer to the stagnation point
and drops off further upstream. This confines the effects of alumi-
num oxide formation near the surface. Because the concentration of
aluminum oxide near the surface is about the same for Cf;c �
2 × 101 and for higher reaction rate coefficients, the heat released
due to the reaction and the heat that is carried to the surface remain
similar. Therefore, the incident heat flux is similar between these
solutions despite the smaller overall temperature increase and the
lower temperature gradient further upstream of the leading-edge
surface. The lower reaction rates exhibit temperature profiles along
the stagnation line similar to the nonreacting case.
The vibrational temperature also changes similarly, as the region of

elevated temperature in turn leads to greater molecular excitation. The
effect on vibrational temperature is not as pronounced, however, as the
nonequilibrium state of vibrational excitation causes the vibrational
temperature to lag behind the changes in the translational-rotational
temperature.
Table 4 details how the performance of evaporative transpiration

TPS are affected by changes in the reaction rate coefficient. Addi-
tionally shown is the equilibrium constant and chemical equilibrium
ratio at the stagnation point for each reaction rate coefficient. Once
again, the colloquial definition of the stagnation point, being located
at the surface, is used here despite a nonzero surface velocity. The
equilibrium constant and chemical equilibrium ratio were taken one
grid point away from the leading-edge surface so that the aluminum
vapor would have a finite length of time to react in the flow.
Table 4 shows that, for the minimum feasible reaction rate

coefficient of Cf;c ≥ 2 × 10−2, the oxidation reaction is significant,
and additional coolant is required to replace the coolant that is

oxidized. By Cf;c � 2 × 101, the maximum coolant mass flux at

the stagnation point is required of the transpiration TPS. This is
because, as discussed with Figs. 10, 11, and 12, there is near-
complete consumption of oxygen for this reaction rate coefficient.
Complete consumption of oxygen corresponds to the maximum
possible energy release by the reaction because the reaction cannot
progress past this state without consuming more oxygen. Release of
energy from the oxidation reaction leads to an increased incident

heat flux. The similar incident heat fluxes for Cf;c � 2 × 101 and

larger reaction rate coefficients discussed with Fig. 13 lead to the
similar required coolant mass fluxes.
For a reaction rate coefficient of Cf;c � 2 × 10−1, the effects

of the oxidation reaction are less pronounced. The aluminum
vapor coexists with some oxygen near the stagnation point,
visible in Figs. 10, 11, and 12. The reaction rate coefficient of

Cf;c � 2 × 10−1 shows a required coolant mass flux similar to that

of the faster reaction rate cases because most, but not all, of the
oxygen is consumed by the time the flow reaches the stagnation

point. For Cf;c � 2 × 10−2, the required coolant mass flux is

between the nonreacting and equilibrium reaction mass fluxes,
due to even less consumption of oxygen. As a note, the mass flux

for Cf;c � 2 × 10−3 is 1.15 kg∕�m2 ⋅ s�. This value is slightly larger
than the results for nonreacting flow because the oxidation reaction
still occurs for a finite reaction rate coefficient, although at a slow
and nearly insignificant rate.
Table 4 shows a favorable equilibrium constant for the formation of

aluminum oxide, as per reaction (R4), in all applicable cases. Regard-
less, for reaction rate coefficients of Cf;c ≥ 2 × 107, the chemical
equilibrium ratio at the stagnation point is one. This shows that the
reactions are in chemical equilibrium at the stagnation point. For a

reaction rate coefficient of Cf;c � 2 × 104, the chemical equilibrium

ratio is slightly greater than one. This suggests that there is too much
aluminum vapor and not enough aluminum oxide near the leading-
edge surface to perfectly represent a state of chemical equilibrium.
The chemical equilibrium ratio at the stagnation point increases

rapidly for decreasing reaction rate coefficients of Cf;c ≤ 2 × 101,

suggesting nonequilibrium flow conditions.
Figures 14 present plots of the chemical equilibrium ratio (a) and

the chemical timescale ratio (b) along the stagnation line for varying
reaction rate coefficients. The x-axis in each figure is normalized as
a percentage of the standoff distance of the shock, allowing for
direct comparison between different values of the reaction rate
coefficient. The results are plotted on log-log scales to better illus-
trate the data. The left and right bounds are the postshock and near-
surface locations, respectively. Only select values of Cf;c are plotted

for clarity. The values of Cf;c plotted correspond to the values from

Figs. 10, 11, and 12 that best cover the distribution of the different
reaction rate conditions for equilibrium, nonequilibrium, and fro-
zen flow.
The chemical equilibrium ratio along the stagnation line is one or

near one for reaction rate coefficients of Cf;c ≥ 2 × 104. For

Cf;c � 2 × 104, the chemical equilibrium ratio does increase to

around 100 at the location of the maximum concentration of alu-
minum oxide. This shows that at this location there is a momentary
lack of formation of aluminum oxide and deviation from equilib-
rium conditions. However, the chemical equilibrium ratio quickly
decreases near the stagnation point, showing that the reaction even-
tually progresses to near completion and achieves a near-
equilibrium state similar to the faster reactions. The diffusion of
aluminum oxide away from the point of maximum aluminum oxide
concentration, as shown with Fig. 8, assists in maintaining equilib-
rium conditions near the leading-edge surface by increasing the
concentration of aluminum oxide there.
For a reaction rate coefficient of Cf;c � 2 × 101, the chemical

equilibrium ratio at the stagnation point is well above one and
increases further upstream to a value near 10,000. The large chemi-
cal equilibrium ratio observed in Fig. 14 corresponds with deviation
from equilibrium conditions and the coexistence of all reacting
species along a significant portion of the stagnation line, as visible

in Figs. 10, 11, and 12. For Cf;c � 2 × 101 there is still nearly

complete consumption of oxygen and significant formation of
aluminum oxide by the time the flow reaches the surface despite
the large chemical equilibrium ratio.
Figure 14 shows that the distribution of chemical timescale ratios

along the stagnation line remains similar for reaction rate coeffi-
cients of Cf;c > 2 × 104. The maximum chemical timescale ratio

Table 4 Comparison of the stagnation point properties for different reaction rates

Cf; c � 2x 1013 1010 107 104 101 10−1 10−2 0

Coolant mass flux, kg∕m2 ⋅ s 2.23 2.23 2.23 2.23 2.23 2.14 1.67 0.987

Equilibrium constant, nmol∕m3 95.4 95.4 95.5 95.5 102 101 85.4 NA

Chemical equilibrium ratio 1.00 1.00 1.00 1.31 797 3.32 × 106 33.5 × 106 NA
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corresponds with the location of the maximum value of the chemical
equilibrium ratio and the maximum concentration of aluminum

oxide, as seen in Fig. 10. This is because the location of the
maximum chemical timescale corresponds to the location with
maximum production of aluminum oxide as per Eq. (12). The
chemical timescale ratio near the stagnation point generally

increases with decreasing reaction rate coefficient until a maximum

timescale ratio is reached at Cf;c � 2 × 10−4.

The faster reactions show lower chemical timescale ratios near
the stagnation point because the reaction has already reached
completion by the time the flow reaches the stagnation point. This

results in a lower value for the concentration of oxygen and a
decreased chemical source term, which in turn decreases the
chemical equilibrium ratio and chemical timescale ratio, respec-
tively, as per Eqs. (11) and (12). For a reaction rate coefficient of

Cf;c � 2 × 104, the chemical timescale ratio near the stagnation

point can be observed to decrease when compared with faster
reactions. It is speculated that because the leading-edge surface

is still in a state of near equilibrium and because the reaction center
remains far away from the stagnation point, the lower reaction rate

coefficient of Cf;c � 2 × 104 leads to a lower chemical source term

and chemical timescale ratio when compared to faster reactions.

The chemical timescale ratio near the stagnation point then begins
to increase with decreasing reaction rate coefficient as the reaction
center moves closer toward the stagnation point. This trend persists

until Cf;c ≤ 2 × 10−1.

For a reaction rate coefficient of Cf;c ≤ 2 × 10−1, the chemical
equilibrium ratio and chemical timescale ratio both have maximums
at the stagnation point. This is due to the location of the maximum
concentration of aluminum oxide moving closer toward the stagna-
tion point as the reaction speed slows down. This is supported by the
constant and elevated mass fraction of atomic oxygen near the
stagnation point, not reacting in the presence of aluminum, observ-

able in Figs. 10, 11, and 12. For Cf;c ≤ 2 × 10−1, despite a large

chemical equilibrium ratio and a large chemical timescale ratio near
the stagnation point, the overall reaction rate along the rest of the
stagnation line remains insufficient to produce aluminum oxide. The
chemical timescale constant drops too low to produce significant
quantities of aluminum oxide around the normalized location of

10−2 along the stagnation line, about 1% the length of the stagnation
line. If nonequilibrium effects are prevalent at the stagnation point,
then they will only be stronger further upstream. This can be seen by
the chemical timescale ratio dropping below a value of one upstream
of around 2% of the length of the stagnation line, indicating a
transition to frozen flow conditions.
Then, the timescale ratio begins to decrease for Cf;c � 2 × 10−2

because the reaction center cannot move closer toward the stagna-
tion point to give oxygen and aluminum more time to react, as in
Fig. 14. A decrease in the reaction rate coefficient is thereby
reflected as a decrease in the chemical timescale ratio for reaction

rate coefficients below Cf;c � 2 × 10−1.

Therefore, the chemical timescale ratio at the stagnation point
generally increases as the nonequilibrium effects become more
significant and the reaction center moves closer toward the
leading-edge surface, despite decreasing the reaction rate coeffi-
cient. If the reaction is already occurring at the surface or is in a
state of equilibrium with the reaction center far from the surface,
then the chemical timescale ratio increases for increasing reaction
rate coefficient.
As discussed with Fig. 8, the diffusion of aluminum oxide must

be directed away from the location of maximum aluminum oxide
production. Therefore, for Cf;c ≤ 2 × 10−1, diffusion cannot assist
in increasing the surface concentration of aluminum oxide because
the reaction center is near the stagnation point. There is insufficient
concentration of reacting species near the shock for the chemical
equilibrium ratio or chemical timescale ratio to be physically mean-
ingful there.
This analysis shows that the flow remains in a state of equilibrium

for reaction rate coefficients as low as Cf;c � 2 × 104. Even for a

reaction rate coefficient as low as Cf;c � 2 × 10−2, which exhibits

nonequilibrium flow conditions, the required coolant mass flux of
the evaporative transpiration TPS changes by 70% of the difference
between the cases with faster reaction rate coefficients and the
nonreacting coolant. The range of reaction rates where nonequili-
brium effects are significant is so small that it is reasonable to
assume that oxidation reactions occur in either equilibrium or frozen
conditions.
If the maximum chemical equilibrium and timescale ratio occur at

the leading-edge surface, then the nonequilibrium effects will begin
to influence the required coolant mass flux. This result is observable
in Table 4 and Fig. 14. If the maximum chemical equilibrium and
timescale ratio occur away from the leading-edge surface, then the
oxidation reaction will increase the required coolant mass flux by
the maximum possible amount. The diffusion of aluminum oxide
toward the leading-edge surface can assist in maintaining equilib-
rium conditions near the leading-edge surface by increasing the
concentration of aluminum oxide there, but only so long as the
reaction center is located away from the surface.
Therefore, transpiration TPS are mainly affected by the energy

released by the reaction between oxygen and metallic coolant. Even
for nonequilibrium flow conditions that may be present for the
slowest feasible reactions, the majority of oxygen can be consumed

Fig. 14 Chemical equilibrium (a) and timescale ratio (b) for different
reaction rates.
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by an oxidation reaction by the time the flow reaches the leading-
edge surface. This leads to the same or similar impact on TPS
performance as the equilibrium conditions observed with the faster
reaction rate coefficients. This idea is further supported by the
dependence of the required coolant mass flux on the temperature
gradient only at the stagnation point as observed with Fig. 6. There-
fore, for the reaction to be significant to the performance of evapo-
rative transpiration TPS performance, the reaction does not need to
be instantaneous or in an equilibrium state along the stagnation line.
If a nonequilibrium reaction has consumed a majority of the oxygen
in the flow at the stagnation point, then the reaction’s impact on TPS
performance will be largely the same as for an equilibrium reaction.
Oxidation reactions must be taken into account, as even the slowest
feasible oxidation reactions have a substantial effect on the perfor-
mance of evaporative transpiration TPS.
Figure 15 presents the resulting incident and evaporative heat

fluxes along the leading-edge surface as the reaction rate coefficient
is varied. Additionally shown is the cooling heat flux for compari-
son to the incident heat flux. The cooling heat flux is defined as the
evaporative heat flux plus the radiative heat flux. Other heat fluxes,
such as the radiative heat flux or recombination heat flux, are not
explicitly shown because they are either nearly constant between
trials or insignificant. The leftmost boundary is the stagnation
location, and traveling rightward corresponds to traveling circum-
ferentially along the leading-edge surface.
Previous results are reinforced through Fig. 15. The region of

elevated temperature from Fig. 13 leads to an increase in the
temperature gradient inside the boundary layer and therefore an
increase in the incident heat flux by Eq. (21). The evaporative heat
flux must then increase to counteract the increased incident heat flux
caused by the exothermic oxidation reaction. This balancing of heat
fluxes keeps the surface temperature near the saturation temperature
of the coolant, as required by Eqs. (23) and (24), but increases the
required coolant mass fluxes as reported in Table 4. These processes
can be seen to relate visually in Fig. 15. A change in the reaction rate
coefficient leads to a change in both the incident and evaporative
heat fluxes. A change in the incident heat flux is offset by an equal
change in the evaporative heat flux and vice versa, as the other heat
fluxes do not change significantly. The incident and cooling heat
fluxes can be seen to be equal in all cases.
Once again, all results with a large reaction rate coefficient are

similar. The surface heat fluxes do not begin to substantially dis-
tinguish themselves until Cf;c ≤ 2 × 10−2. This corresponds to the
coolant mass flux values reported in Table 4. The coolant mass

fluxes for reaction rates of Cf;c ≥ 2 × 10−1 are all roughly equiv-

alent and only begin to distinguish themselves for Cf;c ≤ 2 × 10−2

due to the nonequilibrium effects present at the stagnation point as
discussed with Fig. 14. The nonequilibrium effects are not signifi-
cant at the stagnation point for the faster reactions, as discussed
with Fig. 14.
For reaction rate coefficients of Cf;c ≤ 2 × 10−3, the reaction

becomes frozen, and so the incident and cooling heat fluxes match
the nonreacting case closely. Additionally, the profile of the heat
fluxes shown in Fig. 15 matches with the profiles of pressure and
mass flux shown in Figs. 3 and 9. This is because the surface
pressures influence the coolant mass flux rate by Eq. (23), which
directly influences the cooling heat flux, which is determined by the
incident heat flux as governed by Eq. (21).
Based on these results, if the conditions for an oxidation reaction

to occur are met, then the oxidation reaction will lead to an increase
in the incident heat flux along the leading-edge surface. Oxidation
reactions are expected to occur in, or as if in, an equilibrium state.
This leads to the complete consumption of oxygen and the maxi-
mum amount of heat released at the stagnation point. This results in
an increase in both the evaporative heat flux and the coolant mass
flux, while the surface temperature remains nearly unchanged. Even
for the slowest feasible reaction rates, the nonequilibrium effects are
not strong enough to alleviate the increase in the required coolant
mass flux caused by an oxidation reaction.
Because the flowfield in this study is oxygen-depleted near the

leading-edge surface, oxidation reactions not considered in this
study may be of importance. A specific reaction of interest is the
formation of aluminum(I) oxide, Al2O, expected to form in signifi-
cant quanities due to the oxygen-depleted flow environment. For-
mation of this oxide may have a significant impact on evaporative
transpiration TPS performance, as twice the additional aluminum
may be required to form this oxide as is required to form aluminum
oxide, AlO, considered in this study. Finally, oxidation reactions
occurring at low altitudes may be more susceptible to nonequili-
brium effects, as there is more oxygen to be consumed in a
denser flow.

VI. Conclusions

Because one of the main limiting design considerations for
hypersonic flight vehicles is the severe incident heat fluxes present
during atmospheric hypersonic flight, research into more effective
TPS is desired. Evaporative transpiration TPS are desirable because
they function without degrading the leading-edge surface and can
maintain sharp leading-edge geometry for high lift-to-drag ratios.
Evaporative transpiration TPS have been shown to be effective at

combating incident heat fluxes up to 85 MW∕m2 by Ko et al. (2024)
[6]. However, the effectiveness of coolant materials that may
undergo oxidation was in question. This study expands on the work
of Ko et al. [6] to further explore the limits of evaporative transpira-
tion TPS. Specifically, this study investigates the effects of exother-
mic coolant oxidation reactions on evaporative transpiration TPS
performance. This is accomplished through DNS studies of an
evaporative transpiration TPS employing aluminum as the coolant
material along the leading edge of a 3.1 mm nose tip radius flying at
Mach 15 and an altitude of 30 km. The exact quantitative accuracy
of these results may be effected by the assumption that the vibra-
tional characteristics of aluminum oxide are approximated as those
of silicon oxide; however, the trends observed as a result of the
oxidation reactions in this study are still valid.
After the initial validation study of the new DNS code used to

simulate the evaporative transpiration TPS, the effect of coolant
oxidation on the performance of the evaporative transpiration TPS
was investigated. It is found that coolant oxidation leads to roughly
a twofold increase in the required coolant mass flux at the stag-
nation point, while the surface temperature remains nearly
unchanged. The increased coolant mass flux is caused by an
increased incident heat flux due to the exothermic oxidation
reaction. Therefore, if the coolant may oxidize, the effects of
coolant oxidation must be accounted for during the design of
evaporative transpiration TPS. The twofold increase in the
required coolant mass flux caused by coolant oxidation is roughlyFig. 15 Surface heat fluxes for different reaction rates.
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equivalent to a reduction in the coolant’s latent heat of vaporization
by a factor of 2.5 or an increase in the coolant’s molar mass by a
factor of 2.6.
The relationship between the reaction rate of coolant oxidation

reactions and the performance of evaporative transpiration TPS is
also investigated. It is shown that oxidation reactions are likely to
remain in a state of equilibrium or near equilibrium, even for the
slowest feasible reactions. This is because the nonequilibrium
effects are significant over a narrow range of slow reaction rates,
spanning three orders of magnitude for the reaction rate coefficient
out of the span of 18 orders of magnitude considered.
Even for reaction rates as low as 10−11 times their accepted

values, conditions still heavily favor coolant oxidation, resulting
in complete or nearly complete consumption of oxygen. Even in
flows exhibiting nonequilibrium conditions, nearly all oxygen in the
flow reacts and releases energy by the time the flow reaches the
stagnation point. This leads to a similar change in the incident heat
flux and required coolant mass flux for both equilibrium and non-
equilibrium flows.
Even the slowest feasible oxidation reactions dramatically affect

evaporative transpiration TPS performance, increasing the surface
heat flux and required coolant mass flux by roughly a factor of two
compared with a nonreacting coolant. Because oxidation reactions
occur so readily and have a substantial impact on evaporative TPS
performance, the oxidation of coolant species must be considered
during the design of evaporative transpiration TPS. While the
performance drawbacks of coolant oxidation are significant, oxidiz-
ing coolants may still be viable if their latent heats of vaporization
are double that of alternative coolants, or if their molar masses are
half that of alternative coolants. With these results, a step has been
taken toward one day implementing evaporative transpiration TPS
capable of providing large cooling fluxes without degradation of the
leading-edge surface.
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